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Abstract: A numerical model is developed and validated to analyse the performance of aluminium
skin and agglomerated cork core sandwich plates subjected to blast loads. Two numerical approaches
are used and thoroughly compared to generate the blast loading: an Arbitrary-Lagrangian–Eulerian
approach and the Load Blast Enhanced method. Both of the models are validated by comparing
the numerical results with experimental observations. A detailed analysis of the sandwich behaviour
is done for both approaches showing small differences regarding the mechanical response of
the sandwich structure. The results obtained from the numerical models uncover the specific energy
absorption mechanisms happening within the sandwich plate components. A new core topology
is proposed, based on these results, which maximises the energy absorption capacity of the plate,
keeping the areal density unchanged. A wavy agglomerated cork core is proposed and the effects of
different geometrical parameters on the energy absorption are thoroughly analysed and discussed.
The proposed optimised plate configuration shows an increase in the total absorbed energy of close to
40% relative to a reference case with the same areal density. The adopted optimisation methodology
can be applied to alternative configurations to increase the performance of sandwich structures under
blast events.

Keywords: cork; sandwich panel; blast wave; Arbitrary Lagrangian Eulerian (ALE); finite element
analysis; impulsive loading; high-explosive; LS-DYNA software FEM

1. Introduction

Sandwich structures are used in a wide range of applications, such as in aerospace or
naval structures, mostly because they are lightweight and typically have high bending stiffness.
Sandwich structures have two thin outer skins and a thicker lightweight core and, because of their
design, their structural and manufacturing simplicity, the potential for new applications is wide.
Traditionally, the skins are either metallic or made of composite materials, such as fibre reinforced
plastics (FRP), depending on the specific application and use. This allows designers to choose
the skin material depending on the loading conditions that the plates are going to be subjected to.
As an example, some skins are chosen for high wear resistance or high specific strength. The purpose
of the core is often to provide thermal insulation but mainly to increase the moment of inertia of
the component and, consequently, its bending stiffness. Common core materials are polymeric or
metallic foams, or lattice structures. Moreover, these materials are also known to often exhibit high
energy absorption capability. A metallic foam core, for example, is able to absorb energy (e.g., from
impacts) at almost constant load and stress levels, leading to a promising structure for impulsive load
(e.g., blast and shock wave) protection [1–3].

To minimise environmental cost and impact, new designs and materials should not only be
energy efficient, but also recyclable or reusable. In some industrial sectors, such as the automotive

Appl. Sci. 2020, 10, 5180; doi:10.3390/app10155180 www.mdpi.com/journal/applsci

http://www.mdpi.com/journal/applsci
http://www.mdpi.com
https://orcid.org/0000-0003-0263-8983
https://orcid.org/0000-0001-8206-9439
https://orcid.org/0000-0003-1607-4517
https://orcid.org/0000-0001-5854-5466
http://dx.doi.org/10.3390/app10155180
http://www.mdpi.com/journal/applsci


Appl. Sci. 2020, 10, 5180 2 of 21

industry, these are now mandatory requirements. The European Parliament Directive 2008/112/EC [4]
enforces that:

“Vehicle and equipment manufacturers must factor in the dismantling, reuse and recovery
of the vehicles when designing and producing their products. They have to ensure that new
vehicles are: reusable and/or recyclable to a minimum of 85% by weight per vehicle [. . . ]”

Consequently, the use of environmental-friendly materials is a major step in complying with
this requirement.

The skins on sandwich plates are often exposed to impact and wear, narrowing the range of
materials that can be used. However, the core is usually protected by the skins from the external
environment, so the range of materials is significantly wider. Some authors have explored the use
of natural materials, such as cork for core applications [5,6]. Cork and its derivatives, including
agglomerated cork, have very low density and a high energy absorption capability, whilst also
exhibiting a low carbon footprint for being biodegradable. These properties make agglomerated cork
an excellent option for sandwich panel cores and green designs.

A number of researchers have studied the mechanical, thermal, and high strain rate behaviour of
cork, and cork derivatives, such as agglomerated cork compounds, by subjecting material samples to
impacts at a wide range of energies [7]. Most of these studies prove that this natural cellular material
has a huge potential to be used in energy absorption applications. Sanchez-Saez et al. [8] quantified
the increase of absorbed energy due to the inclusion of cork in a sandwich panel, under high velocity
ballistic impacts. Sousa Martins et al. [9,10] explored the use of agglomerated cork compounds as
sandwich cores under blast loading, reporting on experimental results and analyses that support
the observation that cork is a highly efficient energy absorbing material. Therefore, factoring in that it
is a fully bio-degradable material, cork is a good candidate to be used as a liner or core in structural
components, without significantly increasing their weight.

The use of sandwich components for blast mitigation has been explored by many authors,
clearly demonstrating the energy absorption and protection capabilities of said structures under
blast [11–14]. Hassan et al. [11] investigated the influence of varying the density of PVC cores on
the blast resistance of sandwich panels, concluding that approximately 70% of the energy is absorbed
by the core. Nurick et al. [13] investigated the behaviour of sandwich panels with aluminium alloy
honeycomb cores under blast loading, observing that there is compromise between load transfer
through the core and the increase in energy absorption. Karagiozova et al. [14] demonstrated how
the permanent deflection of the skins is strongly affected by the core material properties. All of these
works show the strong influence the sandwich core has, not only on the energy absorption, but also on
the permanent deflection of the skins.

Some authors have explored optimising geometrical parameters of the sandwich panel in order
to increase the energy absorption capability without significantly compromising the overall weight
of a structure. However, these studies have almost exclusively focused on quasi-static loading.
Reany et al. [15] for example, modified the topology of the core in an attempt to increase the bending
stiffness and strength of the panel under uniaxial and shear buckling. Under these conditions, those
authors achieved a 15% reduction of the weight while simultaneously increasing the strength by
25%. Pimenta et al. [16] introduced wavy foam cores as a liner of fibre reinforced plastics (FRP) in
order to increase the energy absorption capability under uniaxial tensile loading. Using a similar
approach, Arronche et al. [17] demonstrated the capability of wavy liners under drop weight impacts,
with promising results in terms of weight and energy absorption.

The work here presented extends this into the dynamic regimes, by exploring and analysing
the blast response of sandwich panels with aluminium skins and agglomerated cork cores.
Numerical simulations of blast are performed and validated while using the experimental data
available from a previous work of the authors [9,10]. The proposed models are shown to be crucial in
the understanding of the kinematic response of sandwich plates to blast loads. Different numerical
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approaches to model the blast are used and benchmarked for computational efficiency. The main
objective is to present a novel contribution for the energy absorption of sandwich plates, proposing
and validating an optimised geometry for the core.

2. Numerical Modelling

A numerical model is developed to study the behaviour of aluminium-cork sandwich panels
under blast loading. The models are validated with a thorough comparison of the obtained results
to the experimental observations that were reported by Sousa-Martins et al. [10]. Post-validation,
the influence of the shape, and configuration of the core on the response of the sandwich structure
is studied to maximise the energy absorption capacity of the structure. The numerical models are
developed in LS-DYNA [18], which is capable of reproducing the blast event in a number of different
ways. To this end, two distinct approaches are explored and thoroughly compared in this work.
The numerical models, the constitutive material behaviour, and the blast approximation methods used
in these models are presented in the following section.

The experimental results presented by Sousa-Martins et al. [10], obtained at the blast
laboratory of the Royal Military Academy (Belgium), were used to validate the numerical models.
These authors used a 4-cable ballistic pendulum to study the effect of impulsive blast loads, sandwich
configuration, core material, and core thickness on the behaviour of aluminium-cork sandwich panels.
Two agglomerated cork compounds core were used with core densities of 200 (NL20) and 440 kg/m3

(TB40). From these tests, the authors obtained the impulse transferred by the blast to the pendulum
while using a laser distance sensor, as schematically shown in Figure 1. The post-impact deflection
of the front and rear faces of the panels were also recorded, using a three-dimensional (3D) scanner.
From these results, the authors concluded that the deformed sandwich panel presents a significant
core thickness reduction. This energy absorption mechanism is more evident in the thinner sandwich
plates, with thicknesses of 10 (NL20-10) and 15 mm (NL20-15).

IPN 270 beam

End plate

Support plate

Threaded bars

Double frame

Specimen

Explosive

Cables

Counterweights

Figure 1. Experimental test apparatus (adapted from [10]) (IPN:European Standard I Beams).

The different numerical approaches developed in the present work are based on a numerical
model of the complete experimental setup and test rig, and described in detail in the following
paragraphs. A detailed description of the configuration of the test apparatus can be found in
Sousa-Martins et al. [10].

2.1. Ballistic Pendulum and Sandwich Structure

The numerical model reproduces the experimental set-up, as shown in Figure 2. The ballistic
pendulum, similar to the one used by Karagiozova et al. [19], consists on an IPN 270 beam of length
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1200 mm, denoted by 1 in Figure 2. A balancing mass of 163.5 kg is attached at the back and a 20 mm
thick steel end plate at the front, denoted by 2 in the figure. This structure is connected to a 15 mm
thick plate (3) and to the specimen support frame (5) through a set of threaded bars and nuts (4).
The specimens are 320 × 320 [mm2] sandwich panels of different thickness, which are fixed to
the pendulum in the support frame, leaving an exposed area of 300 × 300 [mm2]. A Composition C-4
high explosive charge of mass m = 30 g is fixed and aligned with the centre of the sandwich panel, at
a stand-off distance d = 300 mm. This corresponds to a scaled distance Z = d/m1/3 = 0.965 m/kg1/3.
The pendulum is suspended on four steel cables (6), although only two are shown in Figure 2 due to
symmetry. The balancing mass is modelled as a lumped mass.

Figure 2. Numerical model of the 4-cable ballistic pendulum subjected to blast: (1) IPN 270 beam,
(2) 20 mm end plate, (3) 15 mm support plate, (4) threaded connecting bars, (5) specimen support
double frame, and (6) ballistic pendulum support cables.

No plastic deformation is observed after the experimental tests in any of the steel components of
the ballistic pendulum. Consequently, each individual part is modelled as linear-elastic with density
ρ = 7850 kg/m3, Young’s modulus E = 210 GPa, and Poisson ratio ν = 0.3. The model parts are
connected using a tied contact algorithm. Hexahedral solid elements with reduced integration are
used throughout the whole model, leading to a total of up to 107,402 elements and approximately
400k degrees-of-freedom. Table 1 lists the numbers of finite elements and degrees-of-freedom for each
individual part in the ballistic pendulum model.

Table 1. Specifications of the finite element discretisation of the four-cable ballistic pendulum
and specimen.

Model Part Elements Degrees-of-Freedom Number of Parts

IPN 270 Beam (1) 7184 41,382 1
End plate (2) 2888 12,330 1
Support plate (3) 5235 22,236 1
Threaded bars (4) 1520 6318 2
Double frame (5) 3960 16,800 2
Supports 1080 4380 2
Nuts 1160 5220 4

Specimen (range) 3,375–28,125 12,288–277,248 3

Total (range) 26,402–107,402 133,872–398,832 16
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2.2. Constitutive Material Modelling—Aluminium Skins

The aluminium alloy of the sandwich plate skins is Al 5754-H22 and its behaviour is modelled
while using a thermo-visco-plastic constitutive law, together with a coupled damage model.
The Johnson-Cook model, which is used to achieve this, is defined by a flow stress σy with exponential
strain hardening, logarithmic strain rate dependence and temperature softening. These dependencies
are described by the following relation:

σy =
[
A + B (ε̄p)n] [1 + C ln (ε̇∗)] (1 − T∗) , (1)

where ε̄p is the effective plastic strain, ε̇∗ is the normalised total strain rate, T∗ = (T − Tr)/(Tm − Tr) is
the homologous temperature and A, B, C, n and m are material parameters. Tr and Tm are the room
and melting temperatures, respectively.

An associated strain-based failure criteria is additionally used to account for damage occurring
during the blast event. This criteria is defined as

εf = [D1 + D2 exp(D3σ∗)] [1 + D4 ln ε̇∗] [1 + D5T∗] , (2)

where Di are material parameters and σ∗ is the ratio of pressure p to the effective stress σeff, which is,

σ∗ =
p

σeff
. (3)

Fracture occurs when the plastic strain reaches the threshold value εf defined in Equation (2).
The material and damage parameters for the 5754-H22 aluminium alloy are taken from
the literature [20–26] and listed in Table 2.

The material compressibility (bulk behaviour) at high strain rates is accounted for by a linear
polynomial equation of state that relates the pressure p, the density ρ, and the initial density ρ0 as

p = C1
ρ

ρ0
(4)

where C1 is a material constant.

Table 2. Material parameters for the Johnson-Cook constitutive and damage laws, for the Al 5754-H22
aluminium alloy [20–26].

Parameter Units Value

Density, ρ0 kg/m3 2685
Young’s modulus, E GPa 70.33
Poisson’s ratio, ν – 0.3
Initial yield stress, A MPa 185
Strain hardening coefficient, B MPa 130.5
Strain rate coefficient, C – 0.003
Strain hardening power constant, n – 0.424
Temperature sensitivity, m – 2.519
Room temperature, Tr K 293
Melting temperature, Tm K 873
Damage parameter, D1 – 0.005
Damage parameter, D2 – 0.845
Damage parameter, D3 – −1.89
Damage parameter, D4 – 0.0897
Damage parameter, D5 – 7.97
EOS constant, C1 GPa 70.33
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2.3. Constitutive Material Modelling—Agglomerated Cork Core

A non-linear elastoplastic constitutive law is used to describe the behaviour of the cork core.
This is separately defined for all normal and shear stresses, similarly to the one used for honeycomb
structures and described by Jackson et al. [27] and Kiliçaslan et al. [28]. To completely define
the elastic component of the material behaviour, it is necessary to determine: (i) the Young’s
modulus E and Poisson’s ratio ν of the compacted material; (ii) the non-linear compaction stage
of the material behaviour, corresponding to strains lower than approximately 0.45 in Figure 3;
and, (iii) the densification region (compacted material), with an associated modulus (tangent stiffness)
Ec and Poisson’s ratio νc, which again corresponds to strains above 0.45 in Figure 3. As the cork
compound used in the experimental tests is agglomerated cork, the behaviour can be considered
to be isotropic and the corresponding material parameters are unchanged by the loading directions.
The material behaviour and parameters are those recorded and reported by Gameiro et al. [29]
and Sousa-Martins et al. [10], as listed in Table 3.
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Figure 3. Mechanical behaviour of the NL20 agglomerated cork compound [10,29].

Table 3. Material parameters for the NL20 agglomerated cork compound [10,29].

Parameter Units Value

Density, ρ kg/m3 200
Young’s modulus, E GPa 22.8
Young’s modulus of compacted material, Ec GPa 90
Poisson’s ratio of compacted material, νc – 0.3

2.4. Blast Load Modelling

Modelling the blast loading can be approached in a number of different ways and methods.
Two different approximations of the blast are explored in this work: (i) the Load Blast Enhanced
(LBE) method and (ii) the Arbitrary Lagrangian Eulerian (ALE) approach. Both of the methods
are implemented in LS-DYNA and they are commonly used for reproducing blast events.
Numerous examples can be found in the literature using either ALE [30–35] or LBE [36–42].

The Load Blast Enhanced (LBE) approach is an empirical method in which the explosive is
simplified to a spherical air burst, the pressure imposed by the wave on exposed surfaces is calculated
while taking the mass of the high-explosive, the distance to the target, and the angle of incidence
relative to the location of the explosive into account [43]. This approach is only valid on a limited
range of scaled distances (0.147 < Z < 40 [m/kg1/3]) [44]. The work reported here is covered by this
range as Z = 0.965 m/kg1/3. One of the main advantages of this approach is the low computational
effort required to define the blast, because the air domain is not explicitly modelled. Conversely,
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as a simplification, the approach does not take into account effects, such as shadowed surfaces, reflected
waves, etc. The blast is uniquely defined by the mass and location of the explosive, and the surfaces
onto which the wave will impact.

The Arbitrary Lagrangian Eulerian (ALE) approach explicitly defines the high-explosive,
including its shape, the surrounding air, and the coupling between the fluids and the structure.
This significantly increases the computational cost, but takes into account all possible reflections
and interactions between the shock waves from the detonation and structures. To this end, it is
necessary to define not only the high-explosive material and its equation of state, but also the behaviour
of the surrounding air. The air domain must involve the structures that will be subjected to
the blast. This region is shown in Figure 2 and labelled as ALE domain. This domain has a volume
200 × 400 × 450 [mm3] and an element size of 4 mm was used, which resulted in a total of 5.65 × 105

elements. The external surfaces of this volume are defined as non-reflecting, following the observations
and recommendations of Artero-Guerrero et al. [30].

The explosive is a 16.5 mm radius sphere and its behaviour is described by a high-explosive
material using a Jones-Wilkins-Lee (JWL) equation of state (EoS). The release of chemical energy from
the detonation is accounted for in this EoS, both from the resulting compression and the programmed
detonation [18,45]. The former defines the detonation when the compression in the material reaches
the Chapmant–Jouget pressure (PCJ), whilst the latter defines the initial detonation time as a function
of the detonation velocity D and the location of the detonation point [46]. The JWL model defines
the pressure as

p = A
(

1 − ω

R1ν

)
e−R1ν + B

(
1 − ω

R2ν

)
e−R2ν +

ωĒ
ν

, (5)

where A, B, R1, R2, and ω are material constants, ν = ρ0/ρ is the ratio of the initial to the current
densities (i.e., the relative volume) and Ē is the internal specific energy (i.e., per unit volume).

Air is assumed to behave as an ideal gas and its equation of state can, thus, be defined as

p = (γ − 1)
ρ

ρ0
Ē (6)

where γ is the ratio of specific heats (γ = cp/cv). The material properties of the air are also listed in
Table 4 and were obtained from the literature [30,47].

Table 4. Material properties for the high-explosive (C4) and air used in the MM-ALE numerical
models [30,47].

Property Units Explosive (C4) Air

ρ0 kg/m3 1601 1.23
Ē GJ/m3 7.0 2.58 × 10−4

D m/s 8193 –
PCJ GPa 28.0 –
A GPa 609.8 –
B GPa 12.95 –
R1 – 4.5 –
R2 – 1.4 –
ω – 0.25 –
γ – – 1.4

2.5. Mesh Convergence Analysis

All of the components of the sandwich plate model (skins and core) use solid elements, with five
elements along the thickness direction. A detailed convergence analysis was done on a simplified
model which did not include the ballistic pendulum. This is supported by observations that
the numerical results are not significantly influenced by the discretisation of the elastic ballistic
pendulum components. The boundary conditions (BC) on the sandwich plate are similar to those
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imposed by the actual clamping system. However, the overall displacement in the sandwich is slightly
overestimated in comparison with the measured experimental displacement. The mesh convergence
study can still be achieved despite this difference.

The average displacement history of the centre of the sandwich panel is shown in Figure 4a,
for various mesh densities between 3375 and 84,375 elements. All of the finite element meshes are
structured and regular, with a minimum of 5 integration points along the thickness. The example case
shown corresponds to the NL20-10 sandwich plate, and is selected because the average displacement of
the sandwich plate shows significant fluctuations during the blast loading. Initially, the displacement
increases steeply in all meshes at almost constant slope. The maximum displacement, however, is lower
for the coarser meshes. As the element size decreases the simulations clearly converge to a maximum
value, with very similar trends. Figure 4b shows the final displacement of the rear and front faces of
the sandwich plate as a function of the total number of elements.

It can be clearly observed that the influence of the discretisation on the results vanishes for mesh
densities above 0.1 × 105 elements. Additionally, it should be considered that the mesh density has
a strong impact on the computational effort and, consequently, a mesh of 2 × 2 [mm2] (45 × 45 × 5) on
the plane on the plate, corresponding to 37,500 elements, is chosen as the ideal compromise between
the quality of the results and computational efficiency.
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Figure 4. Mesh convergence analysis for the NL20-10 sandwich plate: (a) normalised displacement
history and (b) normalised displacement convergence, for all tested discretisations (see Table 1 for
mesh parameters).

3. Validation and Analysis

The proposed numerical models are validated and results analysed and compared with
the experimental observations. Additionally, the LBE and ALE approaches for blast simulations are
compared in terms of the results and computational efficiency. Numerical models should accurately
replicate the physics of the problem and accurately predict experimental observations and measurements.
The experimental results include the impulse transmitted to the ballistic pendulum and the final deflection
of the sandwich skins [9,10].

The impulse calculated from the measured displacement and initial velocity of the pendulum is
compared with the results obtained in the numerical simulations. The experimental results register
the global impulse transmitted to all surfaces of the pendulum exposed to the blast wave. This naturally
includes the sandwich plate and the supporting frames. Consequently, the impulse obtained in
the numerical simulations takes into account all of these surfaces. The transmitted impulse for the two
analysed cases (NL20-10 and NL20-15 with 10 and 15 mm of core cork thickness, respectively) are
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listed in Table 5, for the numerical and the experimental tests. The difference in impulse between
the experimental tests NL20-10 and NL20-15 are negligible (0.1%), because the mass of explosive is
kept constant and the exposed surfaces are identical. The numerical simulations also predict small
differences between specimens of different thickness (4.3% in ALE and 0.2% in LBE).

Table 5. Experimental and numerical impulses transmitted to the ballistic pendulum.

Experimental [Ns] ALE [Ns] Error [%] Load Blast Enhanced (LBE) [Ns] Error [%]

NL20-10 15.87 16.98 7.0 17.84 12.4
NL20-15 15.85 16.26 2.6 17.89 12.9

Good agreement is observed between the experimental and the predicted transmitted impulse
(with both the LBE and the ALE numerical approaches), with errors below 7% for the ALE and below
13% for the LBE approach, as listed in Table 5. Both methods overestimate the impulse produced by
the explosion, although LBE tends to be higher. This behaviour is probably related to the fact that LBE
does not model the negative phase of the blast wave. Although this phase is small in magnitude when
compared to the overpressure peak, it can lead to the small differences in the observed impulse. It is
assumed that both approaches adequately reproduce the overpressure pulse of the blast, as the impulse
is a consequence of the pressure from the blast wave on the exposed surfaces.

A thorough analysis of the blast response of the plates is reported in Table 6. This includes
the experimental and numerical deflection of the front and back skins, measured at the geometrical
centre of the plates. Due to the expected compression of the cork, there is a differential in
the displacement of both skins, that is, the front skin displacement is consistently larger than that of
the rear skin. This effect is reproduced by the proposed numerical model, albeit only for the NL20-10
core. It should be noted that the rear skin experimental displacement of the plate with the NL20-15 core
had to be discarded due to debonding from the cork core. All other numerical results show very good
agreement with the experimental observations. The thinner sandwich plate (10 mm core thickness),
with lower bending stiffness, has higher deflection in both skins when compared to the thicker plate
(15 mm core thickness), as expected. As the aluminium skins on all specimens have the same thickness,
the different behaviour is due to the changes in the thickness of the core.

Table 6. Experimental and numerical displacements to the ballistic pendulum.

Sandwich skin Exp [mm] ALE [mm] Error [%] LBE [mm] Error [%]

NL20-10 Front 5.63 5.28 6.2 5.52 1.9
Back 5.01 4.68 6.6 4.71 5.9

NL20-15 Front 5.13 5.15 0.4 5.49 7.0
Back 5.22 4.36 – 4.40 –

These observations and conclusions about the impulse and the front and rear sandwich deflection
ensure that both blast modelling approaches (ALE and LBE) are capable of reproducing the physics
of the blast event under the defined conditions and can, therefore, be used to analyse the structural
behaviour of the sandwich plates in more depth.

From the numerical simulations it is possible to determine how impulse evolves during the blast.
The results presented in Figure 5a show the numerical values of the impulse on the exposed surfaces of
the four-cable ballistic pendulum. The total impulse and experimental measurements are also displayed
for comparison. It should be noted that the ALE approach predicts the time of arrival of the wave
to be approximately 200 µs, which coincides with the time of arrival of the blast wave to the first
exposed surface (i.e., the rig-front in Figure 2). At almost the same time, the wave impacts the front
skin of the sandwich plate; note that only 12 mm separate both surfaces. The remaining exposed
surfaces receive the impact of the blast wave instants later. With the LBE approach, only the directly
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exposed surfaces of the rig and sandwich plate receive impulse—all other surfaces are shadowed
by these, as shown in Figure 5. The main contribution to the total impulse is the one on the directly
exposed surfaces and, thus, the LBE method is capable of accurately predicting the transmitted impulse.
A similar analysis and conclusion can be drawn from the evolution of the impulse on the NL20-15
sandwich plate.

The ALE and the LBE approaches both predict a higher impulse on the frontal surface of the rig
than on the sandwich. Although the rig is not in the direct line of the blast wave, it has a higher
exposed surface—53% more than the sandwich plate specimen—which leads to a higher transmitted
impulse. However, the pressure is higher on the surface of the sandwich panel as the blast wave
hits it orthogonally. This is shown in Figure 5b. The numerical model using the LBE method shows
higher pressure on the sandwich, which is a likely explanation for the higher observed deflections,
as listed in Table 6. However, it should be noted that the pressure pulse shape is similar with both
numerical approaches.

The sudden increase of the impulse at approximately 0.2 ms is consistent with the time of
arrival of the blast wave and it is recorded similarly in both approaches. However, the LBE method
predicts a constant value of impulse afterwards, while the ALE method shows impulse fluctuations.
These differences are caused by (i) a misrepresentation of the negative phase of the blast wave by
the LBE approach, as shown in Figure 5b, and (ii) blast wave reflections on other surfaces, an effect
that can only be reproduced by the ALE model.

0 0.5 1 1.5 2 2.5 3

0

5

10

15

20

Time [ms]

Im
pu

ls
e

[N
s]

ALE Plate front
ALE Plate rear
ALE Rig front
ALE Rig rear
ALE Beam rear
ALE Total
LBE Rig
LBE Plate
LBE Total
Experimental

(a) Impulse

0.1 0.2 0.3 0.4 0.5

0

1

2

3

4

Time [ms]

Pr
es

su
re

[M
Pa

]

ALE Plate front
ALE Plate rear
ALE Rig front
ALE Rig rear
ALE Beam rear
LBE Rig
LBE Plate

(b) Pressure

Figure 5. Impulse and pressure-time histories for NL20-10 specimen in LBE numerical model.
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However, the LBE method predicts a constant value of impulse, while the ALE method shows
impulse fluctuations. This is caused by (i) a misrepresentation of the negative phase of the blast wave
by the LBE approach, as shown in Figure 5, (ii) blast wave reflections on secondary surfaces, an effect
that can only be reproduced by the ALE model, and (iii) blast wave clearing effects.

The fluctuations on the impulse on the shadowed surfaces calculated with the ALE approach
and shown in Figure 5a, can be explained through an incremental analysis of the interaction of the blast
wave with the pendulum. This is shown in Figure 6. Snapshots at time increments between 0.14
and 0.42 ms show the edge of the test rig/sandwich. No overpressure is observed at the back of
the specimen ahead of the impact of the wave on the structure. However, a pressure vortex is formed
at the edge of the rig/specimen when the blast reaches the corner of the specimen. This is known as
the blast wave clearing effect [48]. As a result, the pressure wave is diffracted around the target edge
causing a reduction in the pressure and impulse. A consequence of this effect is also that pressure
wave impacts the support plate (see label 3 in Figure 2), and it is afterwards reflected at the rear
of the specimen. This causes the negative impulse on the shadowed surfaces. Although the LBE
method is not capable of reproducing this phenomenon and the blast wave clearing effects, its relative
contribution to the total impulse is small when compared to the other parts of the test rig, including
the specimens, and can thus be neglected. In the analysis of complex armour or protection systems
with a similar configuration to the one studied (with free edges or shadowed surfaces); however,
blast wave clearing effects and their structural implications should be considered.

Figure 6. Blast wave evolution in NL20-10 specimen for the ALE simulation.

The structural response of the sandwich plate to the impact of the blast wave can be separated in
three distinct stages, namely [10]:

• Stage I—This is the stage where the blast wave is generated and collides with the structure.
The high-explosive detonates and generates a blast wave (see Figure 6), which imposes an initial
velocity to the front skin of the sandwich plate upon hitting it. Although this velocity cannot
easily be experimentally measured, this can be obtained from the numerical simulations for
the duration of the blast. The results presented in Figure
reffig:VelocityNodesa,b show the velocity of all the nodes through the thickness of the centre of
the sandwich. Figure 7b shows the kinematics of the front and rear faces of the plate on the initial
stages of the impact. In these images, the velocity of the front plate has been represented in blue,
the rear plate in red; whereas, in grey, the velocity of different points equally distributed through
the thickness have been plotted.

• Stage II—After a short delay (t ≈ 10 µs in the current model) the rear face of the sandwich
starts to move. Due to the differential in velocity of the front and rear face of the sandwich,
however, core compression continues during this stage. Before the end of this stage, the maximum
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difference in velocities between the front and the rear faces is reached, corresponding to
the maximum compression rate of the sandwich core. Core compression is the dominating
energy absorption mechanism in this stage.

• Stage III—At t ≈ 85 µs (in the current model) the front and rear surfaces of the sandwich panel
move with similar velocity, i.e., the core no longer compresses and the main global deformation
mechanism is bending-stretching. From this moment onward, the velocities of the nodes decay,
reaching 0 at approximately 500 µs in the current model.

As described above, the two main energy absorbing mechanism in the system are the compression
of the plate core and the bending-stretching of the sandwich plate. To isolate and analyse
these two effects, the out-of-plane (i.e., through-thickness) strain, which directly relates to core
compression, and the in-plane strain, which relates to bending and stretching, are shown in Figure 8.
Compression initiates when the blast wave impacts the front skin and terminates at ≈75 µs for
the NL20-10 specimen and ≈85 µs for the NL20-15 specimen. These match the instants when
the velocity of the nodes collapses, at the start of Stage III (see Figure 7b). Compression of
the agglomerated cork core is not homogeneous, which is a consequence of the dynamic nature
of the loading. When comparing the two samples, with thicknesses of 10 and 15 mm, in Figure 8a,b,
respectively, it can be seen that compression closer to the front face is higher for the thicker plate,
namely in the first 5 elements through thickness.
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Figure 7. Kinematics of the NL20-15 sandwich plate as obtained with the LBE numerical model:
(a) velocity profile of the central nodes along the thickness of the sandwich plate (grey), highlighting
the front face (blue) and rear face (red) of the specimen, (b) initial stages (0 < t < 0.14) of the velocity
profile of the central nodes (dashed lines indicate separation of stages).

Taking into account that the element size is the same in both cases, it can be concluded that energy
absorption is higher in the NL20-15 sandwich plate. It can also be observed that the two elements
closer to the rear face in the NL20-15 specimen experience very low compression. This observation
is consistent with the experimental evidence reported by Sousa-Martins et al. [10], who concluded
that for sandwich plates with cores thicker than 20 mm, the plate behaves as a monolithic plate
and the compression becomes less prominent.

The in-plane strain εx on the sandwich plate is shown in Figure 8c,d for both specimens. In pure
bending, the in-plane strain εx at the plate surface should be equal in magnitude and with opposite
sign— either compression or tension—and change linearly through thickness. In pure stretching,
however, strains should be equal and positive along the thickness. The main difference is the mixicity of
the different induced strain mechanisms. The NL20-10 case reaches positive values of strain earlier than
in the NL20-15 case, so that the stretching mechanism seems to be more important in the thinner cases.
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The results presented in Figure 9 show the evolution of the kinetic and internal energies for
the individual components of the sandwich plate (skins and core), for core thicknesses of 10 and 15 mm,
corresponding to specimens NL20-10 and NL20-15, respectively.

When the blast wave collides with the front skin, its kinetic and internal energy increases
and the cork core is compressed. The back skin then starts to deform and its kinetic energy also
increases. When the maximum kinetic energy is reached (corresponding to the maximum velocities in
Figure 7), the cork compression ends but its internal energy keeps increasing. From this instant onward,
the energy is mainly absorbed by bending and stretching (Stage III). As the compressibility of the skins
can be neglected, internal energy is mainly absorbed by bending-stretching. Once the overall bending
process finishes, the internal energy accumulated in the cork core and skins plateaus, at approximately
1 ms. The total energies absorbed by both configurations can be obtained from Figure 9. The NL20-10
specimen absorbs 57.4 J (52.2 J core, 2.1 J upper skin, 3.1 J lower skin), while the NL20-15 specimen
absorbs 58.9 J (54.9 J cork, 1.9 J upper skin, 2.1 J lower skin). The increase on the cork thickness leads to
a negligible improvement in energy absorption (of only 1.5 J) for a 50% increase of the weight. Therefore,
the energy absorption optimisation process should focus on core topology instead of cork thickness.
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Figure 8. Sandwich plate strain profiles: (a,b) through-thickness strain εz for the NL20-10 and NL20-15
specimens, respectively, showing evidence of core compression (only the cork elements are presented
because no compression is observed in the aluminium); and (c,d) in-plane strain εx for the NL20-10
and NL20-15 specimens, respectively, showing evidence of bending-stretching (dashed line shows
separation between both regimes).
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The fractions of energy absorbed by each mechanism are also shown in Figure 9, showing that
both are relevant in the absorption process. As expected, more energy is absorbed by compression
for the thicker plate (48.6% compared to 38.9% in the NL20-10 specimen). Bending and stretching
is less important but albeit still relevant. This is supported by the results in Figure 8. The cork core
absorbs more energy than the skins, by a factor of 25, for both core thicknesses. This is similar to
the observations that were reported by Hassan et al. [11]. As the thickness of the core increases
the differences between the energy absorption of the skins diminish, since the thicker core promotes
more similar deflection of both skins.

In terms of numerical efficiency, the computational time for the ALE model is approximately four
times longer than for the LBE (1183 s/CPU for the ALE and 276 s/CPU for the LBE). This is due to
the higher number of elements and, consequently, degrees-of-freedom, and the additional advection
step during the ALE integration. Although the LBE method cannot capture the impulse on shadowed
surfaces or wave reflections, however, the main contribution of the exposed surfaces is well captured
and it can be used for design purposes.

0 0.2 0.4 0.6 0.8 1
0

20

40

60

Cork Bending + Stretching
33.7 J (61.1%)

Cork Compression
21.5 J (38.9%)

Time [ms]

En
er

gy
[J

]

Cork Ei

Skin (front) Ei

Skin (rear) Ei

Cork Ek

Skin (front) Ek

Skin (rear) Ek

(a)

0 0.2 0.4 0.6 0.8 1
0

20

40

60

Cork Bending + Stretching
29.1 J (51.4%)

Cork Compression
27.6 J (48.6%)

Time [ms]

En
er

gy
[J

]

Cork Ei

Skin (front) Ei

Skin (rear) Ei

Cork Ek

Skin (front) Ek

Skin (rear) Ek

(b)

Figure 9. Kinetic energy Ek and internal energy Ei for the individual components of the sandwich plate
(skins and core), for core thicknesses of (a) 10 mm (NL20-10) and (b) 15 mm (NL20-15). Dashed line
indicates separation between core compression and core bending and stretching.

4. Core Topology Optimisation

From the analyses and conclusions in the previous sections, it is clear that the core has the most
significant role in the energy absorption process: it absorbs approximately 90% of the energy,
contributing with less than 30% of the mass of the structure. Consequently, the most efficient way
to increase energy absorption and blast performance of the sandwich plate is to optimise the core.
However, for armour and protection applications, increasing the efficiency of the sandwich panel
should be done by increasing both the energy absorption of the skins and core, whilst keeping the areal
density unchanged.

This section discusses a number of approaches that are designed to maximise the energy
absorption of the plate, based on numerical simulations, namely by changing the configuration
of the core. This follows the conceptual ideas presented by a number of other authors [15–17,49].
However, in these works—which include a wavy core between skins—the energy absorption is
increased under quasi-static loading.

A set of sinusoidal core shapes with flat aluminium plane skins were chosen to promote an increase
of the energy absorption under blasts event. Figure 10 shows an example. This geometry is also chosen
due to its relative ease of manufacture and assembly, because only the core needs to be modified.
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The optimum configuration was found by optimising the geometrical amplitude and frequency
of the sinusoidal wave defining the shape of the core. The centre line of the core is defined by
z = A cos(ωx/W), where z is the out of plane coordinate, A is the wave amplitude, W is the width
of the plate (in this case W = 100 mm), ω = 2π f is the angular frequency, and f the frequency. As f
increases, the distance between the peaks (w = W/ f ) is reduced, as shown in Figure 10. The particular
combinations of amplitude and frequency tested are listed in Table 7. The areal density of the panel
was kept constant to isolate the energy absorption as the parameter being optimised. Additionally,
the core geometrical amplitude was kept between the thickness of the NL20-10 and NL20-15 plates,
in order to ensure consistency with the validation analyses described in previous sections.

Figure 10. Sandwich panel with sinusoidal core and generic dimensions.

To maximise computational efficiency, the above simulations were simplified and only the Load
Blast Enhanced method was used. Moreover, the numerical model, as shown in Figure 10, only takes
into account the free span of the sandwich. Boundary conditions representative of the experimental
testing rig were implemented, where the edge of the rear skin was fixed by restricting displacements
but not rotations. Additionally, the nodes on the edges of the front skin are guided—their movement is
only constrained along x and y. The materials models and LBE approaches are the same as described
in the previous sections and a reference case is included for comparison.

Table 7. Geometric parameters (amplitude and frequency) for the core optimisation analysis (the
reference case corresponds to the flat core).

ID Amplitude A Frequency f Frequency ω
[mm] [mm]

Reference 0 – –
A1-f2 1 2 50.27
A1-f4 1 4 25.13
A1-f8 1 8 12.57
A2-f2 2 2 50.27
A2-f4 2 4 25.13
A2-f8 2 8 12.57
A4-f2 4 2 50.27
A4-f4 4 4 25.13
A4-f8 4 8 12.57

The results presented in Figure 11a,b show the kinematics of the plates during the blast
impact. These figures show the velocities of the central nodes on the front and rear face sheets for
the simulations listed in Table 7. Figure 11a shows the results for different amplitudes of the sinusoidal
core shape with constant frequency f = 4, compared to the reference case. It is observed that the front
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node shows a velocity peak for all amplitudes, which is higher than the reference case. Although
the trends are similar in all cases, a slight increase of the velocity with the amplitude can be seen.
This is explained because the sinusoidal shape delays the contact between the core and the rear
skin, allowing for the front skin to move with higher velocity. It also increases the time of arrival
of the impact to the rear skin. These differences delay the stationary velocity stage in which both
skins have the same velocity and, thus, the core and the front skin are allowed to deflect more when
compared to the reference case.
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Figure 11. Sandwich plate kinematics for different core shape parameters: (a) effect of the sinusoidal
core amplitude for a constant geometrical frequency f = 4, and (b) effect of the geometrical frequency
for a constant amplitude A = 1 mm.

The results presented in Figure 11b, on the other hand, show the kinematics of the plates as
a function of the frequency of the core shape for a constant amplitude A = 1 mm. The kinematic
behaviour is similar to the previous cases, and the peak velocity of the front skin reaches similar order
of magnitude values. However, the increase of the geometrical frequency reduces the time of arrival
of the impact to the rear skin, albeit with similar accelerations. As the frequency increases, the free
distance for the core to move diminishes, allowing for the rear skin to initiate its motion sooner.

The changes in kinematic and mechanical behaviour described above lead to differences in
the energy absorption mechanisms within each sandwich plate. Figure 12 shows the total absorbed
energy for each combination of geometrical frequency and amplitude. The results presented in
Figure 12a show a clear increase in the energy absorption with the amplitude, visible for the whole
range of analysed frequencies. Additionally, the energy absorbed by the sandwich plate is consistently
higher than in the reference case. These observations are supported by the differences on velocities
shown in Figure 11. Both energy absorption mechanisms—cork compression and overall bending
and stretching—contribute to this. An inverse trend can be observed in Figure 12b, where the absorbed
energy decreases with the increase of the geometrical frequency, regardless of the amplitude. The rear
skin starts to move sooner, as the frequency increases, and therefore Stage III initiates earlier in
the process, while cork compression ends prematurely, as discussed above.
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Figure 12. Energy absorption in optimised case, as function of the geometrical (a) amplitude
and (b) frequency.

These observed inverse trends in amplitude and frequency, as shown in Figure 13, allow for
an optimal case to be identified, where the energy absorption is maximised. This optimal case is the one
with higher amplitude (A = 4 mm) and lower geometrical frequency ( f = 2). For this particular
case, the energy absorbed by each individual sandwich component are listed in Table 8, together with
the reference case. The overall performance of the sandwich plate improves by close to 40% in terms of
energy absorption, and the skins and core are able to absorb more energy than in the reference case,
as discussed above. The increase in absorbed energy is substantial in both skins. This can be explained
by the higher velocity of the front skin and the cork core, which increase the bending effect, as can
be seen from the corresponding maximum displacement. Additionally, the wavy configuration of
the cork core induces a pattern of plastic strain distribution that further contributes to the increase in
the energy absorption. The energy absorbed by the cork core increases by more than 20%, as indicated
in Table 8.

Table 8. Energy absorption in the reference and optimised case.

Case Reference A4-f2 Difference [%]

Absorbed energy

Total 40.64 J 56.61 J 15.97 J (39.3%)
Cork 32.61 J 39.56 J 6.95 J (21.3%)
Front skin 2.63 J 6.00 J 3.37 J (128.1%)
Rear skin 5.39 J 11.03 J 5.64 J (104.6%)

Cork compression Maximum 0.187 0.242 0.055 (29.4%)

Maximum displacement Front skin 9.8 mm 20.5 mm 10.7 mm (109.2%)
Rear skin 8.3 mm 12.1 mm 3.8 mm (31.4%)

Figure 14 shows the evolution of the kinetic and internal energies for the individual components
of the sandwich plate (skins and core), for both reference and optimum case. It can be clearly seen
the different behaviour between both plates. The maximum kinetic energy reached by all components
in the optimum case is clearly higher than the reference case. As it was previously said for Figure 11,
this effect is especially observed for the front skin produced, because the sinusoidal shape delays
the contact between the core and the rear skin. This change in the kinematic induces the higher internal
energy absorbed by each individual component and, therefore, the sandwich itself for the optimum
configuration compared with the reference.
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Figure 13. Biquadratic surface plot of the absorbed energy dependency on the geometrical amplitude
and frequency (grey shaded surface is energy absorbed by reference plate).
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Figure 14. Kinetic energy Ek and internal energy Ei for the individual components of the sandwich
plate (skins and core), for simplified reference case and optimum (A4-f2) configuration.

5. Conclusions

A detailed numerical model is proposed for the analysis of the behaviour of aluminium skin
and cork core sandwich plates subjected to blast loading. The model is developed, validated,
and then used to optimise energy absorption in a blast protection sandwich structure. Two different
methodologies were used for reproducing the blast load: the Arbitrary-Lagrangian-Eulerian (ALE)
approach and the Load Blast Enhanced (LBE) method. Both are extensively validated by comparing
the numerical results with the experimental observations reported by Sousa-Martins et al. [10]. The LBE
model is then used to optimise the sandwich geometry and core configuration, with the aim of
maximising the energy absorption capability of the structure, without compromising the areal density.
The following main conclusions can be drawn from a detailed analysis and discussion of results:

• Both numerical models (ALE and LBE) are capable of accurately reproducing the blast load
and its interaction with the structure. The ALE approach reproduces additional effects, such as
the negative pressure phase, wave reflections, shadowed waves, etc. However, for the present case,
it is shown that these have a minimal effect on the impulse and on the behaviour of the sandwich
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plate. Consequently, due to its significantly higher computational efficiency, the LBE model is
used in the core optimisation analysis.

• The produced numerical analyses and results allow for a better understanding of the kinematic
and mechanical behaviour of the sandwich structure during a blast event, increasing
the knowledge of how this type of structure responds under such loading scenarios.

• The agglomerated cork core is responsible for most of the energy absorption and the main energy
absorption mechanisms are cork compression and overall bending and stretching of the sandwich.

• The impulse transmitted to the ballistic pendulum, as determined by the numerical model,
shows that the main contribution is the frontal rig, suggesting that confined blast experiments
should be done to complement the analysis and isolate the impulse transmitted on to
the specimen.

• An optimised sandwich plate topology is proposed with a wavy cork core. This is used to analyse
the influence of geometrical parameters, such as the amplitude and the frequency of the shape,
for constant areal density. Maximum energy absorption is achieved for the highest amplitude
and lowest frequency, with close to 40% overall increase in energy absorption. The waviness of
the core allows for an increase in the velocity of the front skin and core, leading to more prominent
bending. The increased time of arrival of the wave to the rear skin also leads to an increase in
the compression of the cork core.
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